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Abstract. A material model has been developed to simulate the warm forming of Al–Mg
sheet. Both the hardening behaviour, including temperature and strain rate effects, and the
biaxial stress–strain response of the sheet are considered. A physically-based hardening model
according to Bergström is used. This model incorporates the influence of the temperature
and strain rate on the flow stress and on the hardening rate based on dynamic recovery. For
deformations at constant temperature and strain rate, the Bergström model reduces to the well
known Voce hardening model. The Bergström/Voce models can be fitted quite well to the results
of monotonic tensile tests of an AA 5754-O alloy.
The biaxial stress–strain response of the material is experimentally determined by uniaxial,
plane strain, simple shear and equi-biaxial stress tests. It is demonstrated that the widely used
Hill ’48 yield locus is inappropriate for simulation of deformation of aluminium. The low R-
values for aluminium lead to a significant underestimation of the equi-biaxial yield stress. In
the simulation of the deep drawing of a cylindrical cup this results in a much too thin bottom of
the cup. The Vegter yield criterion is sufficiently flexible to accurately represent the shape of the
yield locus and the anisotropy.
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1 INTRODUCTION
The forming of aluminium sheet can be enhanced by increasing the temperature of particular
parts of the blank and cooling other parts. Experimental work on this subject was published e.g.
by Wilson [1], Schmoeckel et al. [2], Bolt et al. [3]. By heating the die and blank holder and
cooling the punch, cylindrical cups could be drawn up to a depth that is equivalent to what can
be reached with deep drawing steel. In order to reach an optimal temperature distribution, and
to avoid numerous experiments, a numerical model for this process is required.
In this paper, a material model for warm forming of Al–Mg alloys is examined. Material
models for plastic deformation that are used in process simulations commonly apply a separation
of the model in a yield surface and an evolution of the yield stress (hardening). The yield surface
determines the plastic flow in a multiaxial stress state, while a hardening law determines the
evolution of the yield surface. The same approach is used here. In Section 3, two yield functions
are described that are suitable for use in finite element simulations. In Section 4 the work
hardening and the influence of the temperature and strain rate are considered.
2 ANISOTROPY
In simulations of sheet metal forming, the out-of-plane stresses σz , τyz and τzx are neglected.
For rolled material, three orthogonal axes can be defined, viz. the rolling direction (RD), the
transverse direction (TD) and the normal direction (ND). A tensile specimen can be taken from
the sheet in any orientation. The angle θ between the loading direction and the rolling direction
is used to define the specimen’s coordinate system.
The rolling process will introduce a deformation texture in the sheet. The texture is symmetric
along the rolling, transverse and normal directions. Usually, texture will result in anisotropic
mechanical behaviour. A technological parameter for the anisotropy in sheet metal is the Lank-
ford strain ratio R. The Rθ -value is defined as the ratio of the width to the thickness strains in a
uniaxial tensile test with specimen orientation θ :
Rθ = εy
εz
(1)
where εy and εz are the true strains in width and thickness directions respectively. The R-values
for the AA 5754-O alloy used in this research were measured in three directions and are presented
in Table 1.
Table 1: R-values for the investigated AA 5754-O alloy.
R0 R45 R90 R¯ 1R
0.85 0.67 0.70 0.72 0.11
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The anisotropy has a significant influence of the thickness distribution of the final product
and on the necking behaviour and must therefore be included in the material model.
3 YIELD FUNCTIONS
In continuum mechanics it is customary to derive yield functions for general 3-dimensional
situations (6 independent stress components). For sheet metal forming, however, it is generally
assumed that the normal stress and shear stresses acting on the plane of the sheet are negligible.
Therefore only 3 independent stress components remain: σx , σy and τxy . In this section, two
explicit yield functions will be considered: the widely used Hill ’48 criterion and the Vegter
criterion.
3.1 Hill ’48 yield function
A widely used anisotropic yield function is the quadratic yield function postulated by Hill
[4, 5], also known as Hill ’48 to distinguish it from his later models. In this yield function three
orthogonal planes of symmetry are presumed, leading to three principal axes of anisotropy. In
sheet metal, the principal directions coincide with the rolling, transverse and thickness directions
of the sheet. If a plane stress situation is assumed, the Hill ’48 yield function can be written as
(setting σz = σyz = σzx = 0):
φ = (G + H)σ 2x − 2Hσxσy + (F + H)σ 2y + 2Nτ 2xy − 2σ 2f = 0 (2)
where F , G and H may be expressed in terms of the yield stresses in tension and N in terms of
the yield stresses in simple shear and σf is an average flow stress.
If planar isotropic behaviour is assumed, the response of the material is independent of the
loading direction in the plane. It is then useful to write the yield surface in terms of the principal
stresses. The quadratic Hill yield function for plane stress (2), can then be simplified further.
The value of σf depends on the scaling of F , G and H . Defining the uniaxial yield stress σun by
σ 2un = 2σ 2f /(G + H), gives
σ 21 + σ 22 −
2R
R + 1σ1σ2 = σ
2
un (3)
where σun is the uniaxial in-plane yield stress.
The planar isotropic quadratic Hill function is graphically represented in Figure 1. Three
special stress states, apart from the uniaxial stress state, are the equi-biaxial stress state (σ1 = σ2),
the pure shear stress state (σ2 = −σ1), and the plane strain state (ε2 = 0). The yield stress in
each of these stress states can easily be related to the uniaxial yield stress and the R-value [6]:
(
σbi
σun
)2
= 1 + R
2
(
σsh
σun
)2
= 1 + R
4R + 2
(
σps
σun
)2
= (1 + R)
2
2R + 1 (4)
With increasing R-value, the equi-biaxial and plane strain yield stresses clearly increase com-
pared to the uniaxial yield stress, while the shear yield stress decreases. Note that the parameters
for this yield function are usually determined by uniaxial tests only.
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Figure 1: The yield locus for the planar isotropic quadratic Hill function.
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Figure 2: Basic stress points and tangents to the Vegter yield locus.
3.2 Vegter yield function
The Vegter yield criterion [7–9] defines a yield function for plane stress situations, directly
based on experimental measurements on sheet material. The yield function is defined in the
principal stress space. For planar anisotropic material, therefore, the yield function depends on
the angle between the principal axes and the rolling direction. For a particular loading direction
with respect to the rolling direction, four experiments are necessary to determine the model
parameters: a pure shear test, a uniaxial tensile test, a plane strain tensile test and an equi-biaxial
tensile test (see Figure 2). Between the measured stress points a Bezier curve is used to describe
the yield locus. These four stress states are exactly the same as those derived in the previous
section for the planar isotropic Hill criterion in Equation (4). In the Hill criterion these points
were fully determined by the measured R-value. In the Vegter criterion these points can be used
independently of the R-values.
The experiments indicated in Figure 2, result in a set of 4 reference stress points with σ1 > σ2.
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Figure 3: Second order Bezier curve between two reference stress points.
For the situations where σ2 > σ1, the same experiments can be performed with the specimen
rotated by 90◦. The part of the yield locus where σ1 + σ2 < 0 is usually not measured experi-
mentally, but is determined by the assumption that the initial yield stress in compression is equal
to the initial yield stress in tension.
At yielding, not only the yield stress, but also the direction of plastic strain is determined.
Based on Drucker’s postulate, the normal to the yield locus has the same direction as the plastic
strain rate. If the stress points and the yield locus directions are known, a set of Bezier curves
can be constructed such that the ensuing yield locus is C 1 continuous. In the two-dimensional
principal stress space, a stress point is represented by the vector
Eσ =
{
σ1
σ2
}
(5)
Every plane stress situation can now be represented by the principal stresses Eσ and the angle θ
between the 1st principal axis and the rolling direction.
For every part of the yield locus between two reference stress points Eσi and Eσj , a second order
Bezier function is defined. The Bezier function is determined by the two reference stress points
and the direction of the yield locus at the reference points. The two tangents at the reference
points define the hinge point Eσh , see Figure 3. The yield locus between two reference stress
points is defined by
Eσlocus = Eσi + 2µ (Eσh − Eσi ) + µ2
(Eσi + Eσj − 2Eσh) µ ∈ [0, 1] (6)
If an equivalent stress σeq is defined such that
Eσ = σeq
σf
Eσlocus (7)
a yield function
φ(σ , εeq) = σeq(σ ) − σf(εeq) (8)
fulfils the condition that φ = 0 on the yield locus and φ < 0 in the elastic regime. The direction
of the plastic strain rate can be calculated from the derivative of φ to the stress σ . Since φ is
continuously differentiable, the plastic strain rate direction is continuous.
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Figure 4: A complete Vegter yield locus, and tangents in the reference points.
Planar anisotropic behaviour can be modelled by letting all reference and hinge stress points
depend on the angle θ between the first principal stress and the rolling direction. A complete
yield locus for one specific angle θ is presented in Figure 4, including all reference and hinge
points and the tangents. For implementation details see Pijlman [9].
The experimental determination of the yield stress in biaxial stress states is not always easy.
Therefore, in this study, the initial part of the flow curve is used, together with the concept of
equivalent stress and strain, as presented in Section 4.1.
4 FLOW STRESS AND HARDENING
The flow stress σf is a measure for the resistance to (further) plastic deformation of a material.
It is usually defined as the true yield stress in a uniaxial tensile test. Experiments show that the
amount of work hardening in Al–Mg alloys depends on the deformation, temperature and strain
rate.
For numerical analysis, a description of this work hardening is needed. The classical ap-
proach is to fit macroscopic mechanical measurements to a convenient mathematical function.
These phenomenological models dominate the current simulation software. The validity of
phenomenological models is limited to situations that are within the range of experiments on
which they are based. Interpolation between measured data may be allowable, but extrapolation
is certainly not. Models that are based on the physics of plastic deformation may have a wider
applicability. However, completely physical models based on composition and micro-structure
are not yet accurate enough, and some parameters are difficult to measure. The combination in
which the type of function is based on physics, but where some of the parameters are based on
macroscopic experiments, are called physically based or physically motivated material models.
An example of a physically based model is given in Section 4.2.
6
A. H. van den Boogaard and P. J. Bolt
0
50
100
150
200
250
300
350
-0.05 0 0.05 0.1 0.15 0.2 0.25 0.3 0.35
e
qu
iva
le
nt
 s
tre
ss
 (M
Pa
)
equivalent strain (-)
plane strain
simple shear
uniaxial
equi-biaxial
(a) Von Mises equivalent values
0
50
100
150
200
250
300
350
-0.05 0 0.05 0.1 0.15 0.2 0.25 0.3 0.35
e
qu
iva
le
nt
 s
tre
ss
 (M
Pa
)
equivalent strain (-)
simple shear
plane strain
uniaxial
equi-biaxial
(b) Optimised equivalent values
Figure 5: Equivalent stress–strain curves.
4.1 Equivalent stress and strain
The hardening relations described above are usually determined by one-dimensional exper-
iments. For the analysis of sheet metal forming, the relations should be extended, at least, to
two-dimensional deformations. The common way to achieve this is to determine equivalent
stress and equivalent plastic strain values for arbitrary stress states. The equivalent stress then
depends on the equivalent plastic strain in the same way as the uniaxial stress depends on the
uniaxial plastic strain in a uniaxial tensile test.
A numerically straightforward approach is to use the Euclidean norm of the stress and plastic
strain rate tensors as equivalent values. The equivalent plastic strain is obtained by integration
of the equivalent plastic strain rate. Since the hydrostatic stress does not affect the plastic flow,
only the deviatoric part of the stress tensor is used. Furthermore, in order to obtain equivalent
stress and strain values for a uniaxial stress state that are equal to the uniaxial stress and strain,
the norms are scaled as follows:
σeq =
√
3
2σ
dev : σ dev and ε˙eq =
√
2
3 ε˙
p : ε˙p (9)
These values are consistent with the Von Mises yield surface and are therefore called Von Mises
equivalent values. Figure 5(a) shows the Von Mises equivalent stresses and strains, which are
calculated from measured stress and strain curves. It can be seen that the curves do not completely
coincide, suggesting that the Von Mises yield function does not fully apply.
To make the equivalent stress consistent with a selected yield function, that particular yield
function can be used as a definition. Usually, the yield surface can be written in the format of
Equation (8). The equivalent strain could still be chosen according to the Von Mises definition,
but it is often assumed that the equivalent stress and strain pair should be energetically conjugate.
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Table 2: Equi-biaxial, plane strain and shear factors.
experimental Von Mises Hill ’48
fbi 1.02 1.000 0.927
fps 1.15 1.155 1.101
fsh 0.605 0.577 0.594
The rate of plastic work per unit volume is then described by
w˙p = σeqε˙eq = σ : ε˙p (10)
which leads to a definition of the equivalent strain rate:
ε˙eq = σ : ε˙
p
σeq
(11)
An improved equivalent stress and strain measure was determined by fitting the initial 5 %
strain of the experimental stress–strain curves in uniaxial, equi-biaxial, plane-strain and simple
shear states to each other. With the constraint that the equivalent stress and strain are equal to
the true stress and strain in the uniaxial case and that the equivalent stress and strain measures
are energetically conjugate, we can define equi-biaxial, plane strain and shear factors fbi, fps
and fsh such that
σeq = σun εeq = εun (12a)
σeq = 1fbi σbi εeq = fbiεbi (12b)
σeq = 1fps σps εeq = fpsεps (12c)
σeq = 1fsh τsh εeq = fshγsh (12d)
The equi-biaxial, plane strain and shear factors derived from the fitting of the initial part
of the curve are given in Table 2. Note that these experimentally determined values can be
used directly in the Vegter yield function. The values that follow theoretically from the Von
Mises yield function and the quadratic Hill yield function are given for comparison. For the Hill
function, a planar isotropic model, based on an average measured Lankford value of R¯ = 0.72,
is used. Based on this R-value, the equi-biaxial yield stress for the Hill model is much too low.
The resulting stress–strain curves are presented in Figure 5(b). It can be seen that the plane
strain and shear curves are almost equal for the complete strain interval. The uniaxial and equi-
biaxial curves deviate from the other two after approximately 6 % strain. Apparently, the concept
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of equivalent stress and strain values is not valid for large strains. This may be due to texture or
other micro-structural developments during the deformation.
4.2 Hardening models
In physically based models, the evolution of the flow stress is predicted by considering the
physical mechanisms of plastic deformation. Ideally, the influence of work hardening, strain
rate and temperature, and their interactions, are included. In reality, the models do not predict all
phenomena as accurately as hoped for, but the approach is certainly more appealing than adding
another fit function for every new phenomenon.
Plastic deformation in f.c.c. and b.c.c. metals is mainly the result of dislocation movement
on the active slip systems. Hence, the resistance to dislocation movement determines the flow
stress. The physically based model used here starts with a decomposition of the flow stress into
a dynamic stress σ ∗ that depends on the strain rate and temperature, a term σw that incorporates
the work hardening and a strain and strain rate independent stress σ0:
σf = σ ∗(ε˙, T ) + σw(ρ, T ) + σ0(T ) (13)
This decomposition is used, e.g. by Bergström [10, 11], van Liempt [12], Nes [13].
4.2.1 Dynamic stress
The dynamic stress σ ∗ is the driving force that is required to move dislocations through the
atomic lattice at a certain velocity. The velocity of a dislocation depends on the rate at which
atoms change position in the atomic lattice. This rate is described with a probabilistic approach
in statistical thermodynamics [14, Ch.8]. The dynamic stress σ ∗ can be approximated by an
equation attributed to Krabiell and Dahl [15]:
σ ∗(ε˙, T ) =


0 if ε˙ < ε˙0 exp(−1G0/kT )
σ ∗0
(
1 + kT
1G0 ln
ε˙
ε˙0
)p
if ε˙0 exp(−1G0/kT ) < ε˙ < ε˙0
σ ∗0 if ε˙ > ε˙0
(14)
with a power p that should not differ too much from 1.
The dynamic stress causes a translation of the stress–strain curves. For the experimental
determination of the dynamic stress it is convenient to consider the initial yield stress, in order to
eliminate rate dependent hardening effects. In the experimental stress–strain curves it is observed
that the influence of the strain rate on the initial yield stress is small between 300 K and 450 K
and increases rapidly between 450 K and 525 K [16]. In the whole temperature range, Equation
(14) shows a large strain rate influence at low temperatures that vanishes at high temperatures.
This is in contradiction with the observations and we therefore conclude that the change in initial
yield stress cannot be explained by the dynamic stress and σ ∗ is neglected altogether. This means
that the complete influence of the temperature on the flow stress is introduced indirectly by the
influence on the hardening rate. For f.c.c. alloys, this behaviour is also noted in the literature
e.g. Yao and Zajac [17].
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4.2.2 Work hardening
The work hardening part of the model, σw, takes the evolution of the micro-structure into
account. A relatively simple one-parameter model is used, where the evolution of the dislocation
density ρ is responsible for the hardening. The relation between the dislocation density and σw
is given by the Taylor equation [see e.g. 18, 19]:
σw = αG(T )b√ρ (15)
where α is a scaling parameter of order 1, G is the shear modulus and b the magnitude of the
Burger’s vector.
The essential part in this model is the evolution of the dislocation density ρ. The creation and
storage of dislocations is taken to be proportional to the mean free path, while dynamic recovery
is taken to be proportional to the dislocation density itself. This leads to the basic equation for
the Bergström model as well as the family of Kocks–Mecking models [10, 20, 21]:
dρ
dε
= c1 1L − c2ρ (16)
where the recovery parameter c2 depends on temperature and strain rate. This will lead to a
temperature and strain rate influence on the hardening, whereas σ ∗ influences the flow stress.
In the original Bergström model, the mean free path L was considered to be constant. The
formation of dislocation walls and the principle of similitude led Vetter and van den Beukel
[22], to a storage factor that is proportional to the square root of the dislocation density. The
dynamic recovery term is considered to be due to annihilation and remobilisation of immobile
dislocations. The remobilisation is a thermally activated process, based on vacancy climb [11].
The evolution of dislocation density is now reformulated as
dρ
dε
= U(ρ) − (ε˙, T )ρ (17a)
with
U = U0√ρ (17b)
 = 0 + C exp
(
−m Qv
RT
)
ε˙−m = 0 + C Z−m (17c)
The function U represents storage of mobile dislocations (immobilisation), and  represents
dynamic recovery by remobilisation and annihilation. The functions U and especially  de-
termine the shape of the hardening curve at different temperatures and strain rates. Z is the
Zener–Hollomon parameter. In the original model, m was fixed at 1/3, but here it is used as a
fitting parameter. Qv is an activation energy for vacancy migration.
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Equation (17a) can be integrated analytically for constant U0 and . For an incremental
algorithm the dislocation density ρi+1 at time ti+1 can be calculated from
ρi+1 =
[
U0

(
exp(121ε) − 1
) + √ρi
]2
exp(−1ε) (18)
where U0 and  are assumed to be constant during the time increment. This gives a contribution
to the flow stress of σ wi+1 = αGb
√
ρi+1, leading to
σ wi+1 = αGb
[√
ρi +
(
U0

− √ρi
) (
1 − exp(−121ε)
)] (19)
For a constant temperature and strain rate this equation is equivalent to the well-known Voce
hardening relation. The Bergström model gives an extension for deformation paths with non-
constant strain rates or non-constant temperatures. Note that introducing strain rate and temper-
ature dependent parameters in the Voce equation will not yield the same result as integrating the
Bergström relation for variable strain rate and temperature.
4.2.3 Strain rate independent stress
Finally the strain rate independent stress σ0(T ) from Equation (13) must be determined. It
is assumed that this stress is related to stresses in the atomic lattice. Hence, the temperature
dependence of the shear modulus G(T ) is also used for σ0. The flow stress is now evaluated by
σf = g(T )
(
σ0 + αGrefb√ρ
) (20)
where g(T ) is the shear modulus divided by the reference value G ref. The temperature depen-
dence is numerically represented in this paper by the empirical relation
g(T ) = 1 − CT exp
(
−T1
T
)
(21)
where CT and T1 are fitting parameters.
4.2.4 Comparison with experiments
Some of the parameters in the Bergström model can be selected beforehand. The rest is
determined by a least squares approximation of experimental stress–strain curves.
The initial dislocation density ρ0 was chosen to be 1011 m−2, which seems to be a reasonable
value for annealed aluminium. A ten times lower or higher value only had a small influence on
the initial stages of plastic deformation. The magnitude of the Burgers vector b and the shear
modulus at room temperature G ref were taken from the literature and a value of α = 1.0 was
chosen. The parameters CT and T1 could have been fitted to experimental values of the shear
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Figure 6: Engineering stress–strain curves — experiments and models.
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Table 3: Parameters for the Bergström model.
σ0 109.3 MPa m 0.422 ρ0 1011 m−2
α 1.0 U0 6.093 · 108 m−1 Gref 26354 MPa
b 2.857 · 10−10 m 0 23.63 CT 38.45
C 3.3422 · 105 Qv 1.0917 · 105 J/mol T1 2975 K
modulus, but better results were obtained by fitting them to the hardening curves, simultaneously
with the other parameters.
The 8 remaining parameters were fitted to 8 tensile tests at 4 different temperatures and 2
strain rates. It resulted in the values presented in Table 3.
In Figure 6 the simulated engineering stress–strain curves are plotted for the Bergström model,
together with the experimental data. It can be seen that the model is more or less capable of
describing the experiments. It should be noted that the comparison is only valid for a uniform
strain, which means: up to the maximum engineering stress.
The room temperature curves are plotted separately in Figure 6(a) for two strain rates. At
this temperature, the models are almost completely independent of the strain rate, although the
experiments show a slightly smaller stress at the higher strain rate. This is attributed to dynamic
strain ageing, which is not included in the models.
The stress–strain curves for temperatures of 100 ◦C, 175 ◦C and 250 ◦C are plotted in Fig-
ure 6(b) for a strain rate of 0.002 s−1 and in Figure 6(c) for a strain rate of 0.02 s−1. For the higher
strain rate, the model performs quite well, specially for the strains below the stress maximum
that were used in the parameter fitting. For the lower strain rate the differences are larger. The
Bergström model does not perform very well if the initial yield stress is overestimated as in the
low strain rate case at 250 ◦C.
5 EXAMPLE
In order to assess the applicability of the described model, simulations of cylindrical deep
drawing are compared with experiments. A tool set with a punch diameter of 110 mm, punch
radius of 10 mm and die radius of 15 mm was used to draw cylindrical cups with a height of
80 mm. The die and blank holder were kept at 25 ◦C, 175 ◦C and 250 ◦C while the punch was
kept at 25 ◦C.
5.1 Thickness prediction
In a first example, the thickness distribution is considered for drawing at room temperature.
Here, we focus on the influence of the yield locus. In Figure 7, the experimental thickness
distribution and the predictions by a Von Mises, Hill ’48 and Vegter yield locus are presented. It
is observed that the predicted thickness strain with a Von Mises yiel locus is too high. Including
anisotropy with the Hill ’48 locus with parameters based on uniaxial tensile tests leads to an
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Figure 7: Thickness distributions at 25 ◦C with shell elements.
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Figure 8: Punch force–displacement curves.
excessive deterioration of the results. The Vegter yield function with the same R-values as
the Hill criterion, but with additional parameters to scale the plane strain, pure shear and equi-
biaxial flow stress performs much better than Hill ’48. In this case, however, the simple Von
Mises criterion is as good as the Vegter function.
5.2 Punch force prediction
The influence of the hardening model is demonstrated with the measured and calculated punch
force–displacement curves as demonstrated in Figure 8. It can be seen that the overall shape of
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the curves and their relative magnitudes are well represented with the applied Bergström model.
The maximum punch force is, however, underestimated. This may be due to uncertainties in the
modelling of the friction. At the end of the process, the calculated punch force decreases too
rapidly, compared to the experiments. This is consistent with the behaviour in the tensile tests
in Figure 6, that also show a too low stress after large deformations.
6 CONCLUSION
A material model was introduced that can be used to model warm forming of aluminium sheet.
The phenomenological yield functions are relatively easy to use in finite element simulations.
The Hill ’48 model is widely used, but it was shown that it is not well suited for aluminium.
Technological parameters such as the R-value are often given a meaning based on their relation
with the Hill ’48 criterion. For R-values less than 1 Equation (4) predicts an equi-biaxial yield
stress lower than the uniaxial yield stress, while experiments showed a value of the same order
as the uniaxial yield stress.
Good deep drawability is often related to high R-values, but the completely different shape
of yield loci for f.c.c. metals compared to the yield loci for b.c.c. metals does not permit a direct
comparison of R-values between the two classes of metals. The ratios between equi-biaxial,
plane strain, uniaxial and pure shear yield stresses, as presented in Section 3.1, are relevant
technological parameters for deep drawing and stretching [23], but for f.c.c. metals they should
not be based on R-value measurements and the Hill ’48 yield function. The Vegter yield function
can give a better representation of the yield surface of aluminium because the relevant stress
states are used directly. The differences between the Hill ’48 and Vegter yield functions show
significant effects in a necking analysis and in process analyses.
The work hardening at different temperatures and strain rates was modelled with a physically
based model. It was shown that the Bergström model equals the phenomenological Voce model if
the temperature and strain rate are constant. The temperature and strain rate sensitivity enters the
Bergström model through a relatively simple modelling of dynamic recovery. Uniaxial tensile
tests at different temperatures and strain rates could be described reasonably well with one set
of parameters. Deep drawing simulations for different die/blank holder temperatures showed
correct trends but the maximum punch force was underestimated.
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